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Evaluation of Alternatives for
Two-Dimensional Linear Cascade
Facilities

This paper presents two low-cost alternatives for turbine blade surface heat transfer and
fluid dynamics measurements. These models embody careful compromises between typi-
cal academic and full-scale turbomachinery experiments and represent a comprehensive
strategy to develop experiments that can directly test shortcomings in current turboma-
chinery simulation tools. A full contextual history of the wide range of approaches to
simulate turbine flow conditions is presented, along with a discussion of their deficien-
cies. Both models are simplifications of a linear cascade: the current standard for simu-
lating two-dimensional turbine blade geometries. A single passage model is presented as
a curved duct consisting of two half-blade geometries, carefully designed inlet and exit
walls and inlet suction. This facility was determined to be best suited for heat transfer
measurements where minimal surface conduction losses are necessary to allow accurate
numerical model replication. A double passage model is defined as a single blade with
two precisely designed outer walls, which is most appropriate for flow measurements. The
design procedures necessary to achieve a desired flow condition are discussed.
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lowa State University,
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1 Introduction

Large-scale efforts to compare simulations to experiments, as
performed by Garg [1] and Haldeman and Dunn [2], demonstrate
that many of the characteristic state-of-the-art modeling applica-
tions routinely fail when applied to modern turbine blade geom-
etries. However, Dunn [3] pointed out that it is unclear if such
failures are due to specific modeling issues, or deficiencies in the
experimental measurements. There are several approaches pre-
sented in the open literature to experimentally simulate the flow
field around a given gas turbine engine rotor or stator blade ge-
ometry. Turbomachinery testing facilities can, in general, be di-
vided into two main subsets: nonrotating cascades (linear and an-
nular) and rotating facilities. The first simplification from an
actual turbine is a steady state annular rotating cascade, as dem-
onstrated by Atassi et al. [4]. This approach is primarily used for
compressor geometries as implemented by Schulz and Gallus [5]
and Wisler et al. [6]. Blair [7] obtained highly resolved maps of
the heat transfer coefficient without film cooling using an incom-
pressible, steady, ambient temperature, large-scale turbine rotor
passage.

Transient rotating annular cascades driven by either a large tank
in blowdown mode (as illustrated by Abhari and Epstein [8]), a
shock-tube (as pioneered by Dunn and Stoddard [9], Dunn [10],
Dunn and Chupp [11], and Dunn et al. [12]), or an isentropic light
piston (as demonstrated by Chana and Jones [13]) offer cost ad-
vantages when compared to steady state facilities as these have
reduced flow requirements due to their ephemeral run times. Such
tests often have a duration of a few hundred milliseconds requir-
ing the use of complex transient measurement techniques to ex-
tract heat transfer and pressure data on test engine components.
This approach only allows for low spatial resolution measure-
ments of surface heat flux and pressure [3]. The heat transfer
sensors in these studies, thin-film heat flux gauges, provide a high

lCorresponding author.
Manuscript received December 9, 2006; final manuscript received July 26, 2008;
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frequency response that allows time-accurate measurements of
unsteady convective heat transfer rates. These sensors use a
quasi-1D conduction model to calculate the surface heat flux.
Dunn [14] and Epstein et al. [15] presented typical analyses used
to extract time-resolved heat flux data from these gauges. This
approach presents several problems that can make the measure-
ments difficult to interpret and model. Mukerji et al. [16] demon-
strated that such sensors can corrupt the heat transfer measure-
ment by as much as 30%, by changing the thermal boundary
condition on the blade, if the sensor substrate has a significantly
lower thermal diffusivity than the surrounding material. The sub-
strate causes a local temperature rise over the gauge, producing a
wall temperature step. This has been termed as the “heat island
effect” by Dunn et al. [17]. Corrections for this problem have been
proposed by Moffat et al. [18]. Furthermore, Diller [19] argued
that the flow conditions in blade passages are highly sensitive to
local perturbations: i.e., a poorly installed gauge can cause physi-
cal disruptions of the boundary layer, affecting the measurements
by as much as 75% [20]. Such concerns effectively limit their
usefulness to modeling efforts. Furthermore, the harsh conditions
in these experiments cause these sensors to have a relatively high
mortality rate. This behavior can be traced to the high inlet tem-
peratures of these experiments that are on the order of 500 K and
mechanical stresses due to rotation rates as fast as 10,000 rpm.
Another issue with these experiments is the necessary lead time to
develop the experimental apparatus. Typically, there is at least a
3—4 year evolution from “drawing board” to data collection [21].
These facts do not obviate the usefulness of rotating facilities, as
they can match all relevant nondimensional parameters. However,
it suggests that to obtain higher measurement fidelity and use
measurement techniques that can be precisely replicated numeri-
cally (constant heat flux or isothermal surfaces) it is practical to
simplify the flow field, especially if the blade midspan behavior is
of primary interest. However, it is important to note that the pri-
mary trade-off of such an approach is the inability to match all
relevant nondimensional parameters and lack of rotation. Never-
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theless, as the objective of such experiments is to improve nu-
merical modeling efforts, such compromises are often acceptable.

A further simplification of the flow field is a nonrotating annu-
lar cascade, which consists either of a full annulus or a 60 deg
sector, based on flow requirements. Martinez-Botas et al. [22]
presented uncooled heat transfer results in an annular cascade
driven by an isentropic light piston. Thermochromic liquid crystal
paint was used to obtain spatially resolved measurements in this
experiment. However, the time and expense required to build such
a facility give them no real advantage over linear cascades.

Linear cascades are considered an acceptable compromise to
provide well-resolved data and well-defined conditions for both
design and modeling improvement purposes. Baughn [23] and
Guenette et al. [24] suggested that the flow around the center
airfoil of a two-dimensional linear cascade presents nearly identi-
cal flow characteristics as that found along the midspan position
of a blade in a rotating annular cascade. These facilities provide
tremendous flexibility in investigating a variety of conditions, in-
cluding reducing endwall losses by axisymmetric endwall con-
touring [25]; endwall and blade heat transfer [26,27]; incidence
effects on film cooling performance [28]; and film cooling-
generated aerodynamics losses [29]. They are amenable to optical
fluid mechanics and heat transfer measurement techniques such as
laser-Doppler anemometry (LDA) [30], infrared thermography
[31], and thermochromic liquid crystals [32]. Additionally, linear
cascades can be run in steady state or transient modes, the latter
being more cost effective due to reduced flow requirements. A
popular fashion of performing transient linear cascade tests is to
use an isentropic light piston with ceramic test blades, as illus-
trated by Camci and Arts [28] and Sieverding et al. [33]. It is
important to point out that depending on the choice of measure-
ment technique the ability of a given flow facility to achieve vari-
ous nondimensional numbers is often constrained. For example,
thermochromic liquid crystals, which change temperature over a
narrow temperature range (at most 10—15°C), limit the possible
temperature range for a given facility. However, this measurement
technique allows high-resolution temperature maps that can be
directly compared against numerical simulations. The number of
blades has been found to be important in ensuring that the desired
flow conditions are achieved. To obtain a periodic flow field
around the center measurement blade in a typical linear cascade,
several “dummy” blades are required. As the typical mass flow
rate through a passage in between two blades is approximately
1 kg/s, the requirement for so many passages places a substantial
flow requirement for the facility. In the case of Giel et al. [34], the
required flow rate was 26 kg/s at steady state conditions.

To further reduce the cost of performing heat transfer measure-
ments on real turbine blade geometries, the restriction on the num-
ber of blades can be relaxed. However, this makes achieving a
periodic flow condition more difficult. Abuaf et al. [35] proved
this point with a transonic four-passage cascade that was used to
collect heat transfer measurements. An examination of the mass
flow rates through each passage revealed that the flow in this
cascade was not periodic. Goldstein and Spores [36], Radomsky
and Thole [37], and Priddy and Bayley [38] presented a further
simplification, termed a double passage cascade. These models
comprise of a single blade bounded by two shaped outer walls.
Yet another simplification is a single passage model. This model
consists of a single passage bounded by two walls, which are
shaped by the blade geometry under examination. Blair [39] first
utilized a single passage model to perform endwall heat transfer
and film cooling measurements. Bailey [40], Chung and Simon
[41], and Chung et al. [42] extended this approach to study airfoil
aerodynamics. Buck and Prakash [43] combined a single passage
model with a mass transfer analogy technique to perform film
cooling measurements. It is important to note that both double and
single passage models have been actively used with entirely sub-
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Fig. 1 (a) Three arbitrary blades from an idealized 2D infinite
cascade with representative computational domains. (b) Single
arbitrary blade with periodic boundary conditions at midpitch.
(c) Blade passage with inlet and outlet periodic boundary
conditions.

sonic flows. Thus, it was unclear how to extend these techniques
to more modern blade geometries with significantly increased
turning angle and supersonic flow conditions.

This paper discusses recent efforts to design double and single
passage models to achieve periodic flow conditions for a tran-
sonic, highly cambered blade geometry. Such experimental facili-
ties have the advantage of providing highly resolved fluid me-
chanics and heat transfer measurements at steady state conditions
without massive flow supply requirements. Consequently, these
models are considerably cheaper and provide the same data as a
full linear cascade. Our objective is to use these facilities with
well-defined flow and thermal boundary conditions to improve the
numerical modeling of such flows. It is important to point out,
however, that these models are intended for use for a specific inlet
flow angle and pressure ratio. Consequently, it is unclear how
useful these models are for significantly off-design conditions.

2 Overview of Passage Design Concepts

There are two well-accepted computational domains for nonro-
tating two-dimensional turbine blade geometries. Both these ap-
proaches simulate an infinite row of blades, as shown in Fig. 1(a).
Incoming and departing streamlines have been included in this
figure for discussion purposes. One approach is a single blade
with periodic boundary conditions at midpitch, as shown in Fig.
1(b). The other uses two blade surfaces, the pressure surface of the
upper blade and the suction surface of the lower blade with peri-
odic boundaries leading up to and departing from these surfaces,
as shown in Fig. 1(c). A variation of this approach uses one full
blade and two blade surfaces, as demonstrated in Fig. 2.

The single and double passage experimental techniques mimic
these approaches although the inlet and exit periodic boundary
condition surfaces in Fig. 1(c) and Fig. 2 are replaced with walls.
The ultimate design objective is to establish a flow field that
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Fig. 2 Blade passage with inlet and outlet periodic boundary
conditions

matches a two-dimensional infinite cascade flow condition.
Kodzwa and Eaton [44] demonstrated that the single passage
model is ideal for steady state heat transfer measurements with
two well-insulated blade surfaces, access for optical surface heat
transfer measurements, and reduced flow requirements. Con-
versely, the double passage model of Laskowski [45] is ideal for
optical flow measurements as demonstrated by Vicharelli and
Eaton [46]. The double passage approach was not deemed optimal
for heat transfer measurements as the thermal losses within the
instrumented center blade were determined to be unacceptable.
Both approaches are useful for one operating condition and new
walls are necessary for different run conditions. The aerodynamic
design procedure incorporated 2D and 3D full-geometry simula-
tions. The essence of the procedure is indicated as follows.

1. Perform infinite cascade simulation on two-dimensional
blade geometry at the conditions of interest.

2. Obtain calculated streamlines from simulation to develop
initial guesses for the shape of passage walls and suction
rates, if appropriate. Additionally, obtain the surface pres-
sure distribution, skin friction, and various flow field param-
eters around airfoil for comparative purposes.

3. Perform a numerical optimization on these shapes and suc-
tion rates to achieve an infinite cascade flow field.

4. Verify the design with experimental data.

5. Iterate between steps 3 and 4, if necessary.

Note that our approach assumes that computational fluid dynamics
(CFD) can accurately predict the target pressure distribution for a
given airfoil. Previous studies have indeed indicated that such an
assumption is reasonable for transonic and subsonic airfoils with
fully attached boundary layers [1,47]. Nevertheless, it is important
to state that this assumption requires additional validation with
varying airfoil geometries to establish its limitations. An immedi-
ate example would be airfoils with potential boundary layer sepa-
ration. The Reynolds-averaged Navier—Stokes (RANS) equations

Journal of Turbomachinery

Table 1 Flow conditions for experimental blade geometry

Parameter Test condition
Chord length, c¢pqe (mm) 36.1
Leading edge diameter (mm) =6
Airfoil pitch spacing (mm) 39.8
'Yinletch/cu L4
Inlet angle 29.2 deg
Exit angle —68.6 deg
PO,inlel/Pexil 2.57
Pointet (P) 2.60X 10°
T inter (K) 300
Approximate inlet Mach number ~0.34
Reynolds number, Re.= piti e Colade/ 1 6.62%10°

for a compressible turbulent flow were solved using a commercial
CFD package, STAR-CD [48]. In all the simulations for the aerody-
namics design, a two-layer, two-equation k-e turbulence model
was implemented. Table 1 summarizes the expected flow condi-
tions for the given blade geometry at typical test conditions (from
Buck [49]). The models are designed around an advanced first
stage rotor blade geometry. This airfoil is highly cambered and
operates at transonic conditions, with meanflow Mach numbers as
high as 1.5. This geometry was used by Haldeman et al. [50] in
full rotating aerodynamic and heat transfer tests. The model scale
(1.3) was selected based on instrumentation concerns and flow
supply limitations. The experiment was designed to run at ambient
conditions with the model back pressure assumed to be at atmo-
spheric pressure.

Figures 3 and 4 show a schematic of experimental single and
double passage models with their salient features identified. The
presented single passage model was designed to be placed on top
of a plenum with flow passing upwards either from a plenum
through a bellmouth (in the case of the single passage) or from a
carefully designed nozzle (in the case of the double passage). The
inlet duct length was chosen to be long enough such that there
would be adequate clearance between the exhaust flow and the
inlet and also to provide probe access to an inlet measurement
station. The downstream duct length was chosen to be long
enough such that the exhaust manifold shape would have minimal
effect on the flow in the test region.

3 Infinite Cascade

Infinite cascade simulations were conducted to develop a base-
line and provide target data to complete the passage model de-
signs. Details on these viscous and inviscid simulations and meth-
odology can be found in Refs. [44,45]. The following summarizes
the results of these analyses. Figure 5 displays the calculated pres-
sure distribution using these approaches, presented as the isentro-
pic Mach number, M;,, versus the surface coordinate, s./cCpjade-
This parameter is a reformulation of the pressure distribution, us-
ing the inlet stagnation pressure to compute a Mach number as

follows:
2 P oDy
(( O,mlct) -1 (1)
y—1 P

The negative surface distance positions shown in this figure cor-
respond to locations on the pressure side of the airfoil, while the
positive surface positions correspond to the suction surface. Fig-
ure 6 provides a visual description of these surface coordinate
positions, along with a definition of the axial location along the
blade. Table 2 presents the computed stagnation point locations
using inviscid calculations and various turbulence models. Of in-
terest is the sensitivity of the standard k-e turbulence model to
changes in the inlet turbulence condition. This sensitivity was re-
moved when the modeling equations were modified to limit the
production of turbulent kinetic energy, as proposed by Chen and
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Fig. 3 Experimental single passage model

Kim [51]. Figure 7(a) shows Mach number contours for the two-
dimensional RANS calculation using this model. To design the
shape of the inlet and outlet walls and the amount of suction,
streamlines were extracted from this simulation. Figure 7(b) pre-
sents the streamlines in the initial orientation of the blade geom-
etry, and the streamlines after the domain was rotated for imple-
mentation in the presented experimental facilities.

4 Single Passage Model

A heuristic-based numerical simulation approach was devel-
oped to design the inlet and exit wall shapes. Full details can be
found in Ref. [44]. The design procedure involved the following
steps.

1. Correctly position the stagnation point on the suction and
pressure side surfaces by adjusting the shape of the inlet
walls using streamlines from the RANS infinite cascade cal-
culation to achieve satisfactory agreement with respect to
the location of the stagnation point on the two measurement
surfaces.

2. To decouple this from any effect from the shape of the exit

PRESSURE SIDE
INLET WALL

SUCTION SIDE
INLET WALL

Fig. 4 Experimental double passage

031001-4 / Vol. 131, JULY 2009

passage, enforce periodic boundary conditions, instead of
wall boundary conditions along the trailing edge surfaces of
the domain.

3. Correctly position and set up the shock structure on the aft
side of the airfoil geometry by shaping the exit duct walls
again using streamlines from the RANS simulation produced
from step 1.

4.1 Flow Model. The computational grid for the single pas-
sage was generated in a multiblock fashion utilizing an in-house
structured iterative elliptic grid generator developed by Wu [52].
This approach ensures grid line orthogonality on all the bound-
aries of the domain. Three H-grid blocks were used in construct-
ing the domain; two blocks were used for each bleed section and
one for the main passage. The cell heights near the walls were
stretched to achieve y* values ranging from 0.14 to 3.7. We per-
formed a grid refinement study to determine the smallest possible
grid size that could be run while maintaining satisfactory accuracy
in Mjq: this resulted in a mesh size of approximately 60,000 cells
for the majority of results presented here. The largest two-
dimensional grid during the design process contained approxi-
mately 150,000 cells. This study revealed that the oblique shock
structure observed along the suction surface primary flow feature
was highly sensitive to grid resolution. A stagnation boundary
condition was specified at the inlet and constant pressure bound-
ary conditions were implemented on the bleed exit boundaries.

4.2 Inlet Wall Design. To design the inlet walls, the exit sur-
faces were replaced with periodic boundary conditions that ex-
tended one-chord length (cp,q0) in the axial direction downstream
of the trailing edges of the airfoils. This approach equated the
values of all flow variables along the boundaries. The ideal inlet
wall shapes would generate a streamline one-displacement-
thickness (8;) away from the surface that would correspond to a
streamline in the infinite cascade flow field. For this to occur, the
boundary layer must remain attached for the bleed to function
correctly. Thence, the chosen wall shape must have streamwise
pressure gradients that ensure attached thin boundary layers. This
goal was achieved by taking successive streamlines from the in-
finite cascade simulation and performing a two-dimensional
RANS calculation to determine the predicted M;, distribution. The
streamlines were chosen consistent with the desired direction of
movement for the predicted stagnation point. The bellmouth was
redesigned using ovals with dimensions consistent with the cho-
sen inlet streamlines.
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e k-e Standard (T1% = 10%, Vc = 0.028) Table 2 Comparison of computed stagnation point locations
i ke Standard (T1% =10%, Vc =0.28) using various turbulence models and conditions for infinite
—L GEAE Inviscid Calculation (NOVAK) two-dimensional cascade

15 | Turbulence model M;=0(x/ Chiagqe)
! k-& standard (T1% =10% ,€/ cyj,q.=0.028) 2.28%1073
k-& standard (TI% =10% , €/ cyjpq.=0.028) 137X 1073
k-g Chen (T1% =10% ,£/ cyjuqe=0.028) 2.76 X 1073
k-g Chen (T1% =10% ,£/ cyj,q.=0.028) 2.28%1073
1 Inviscid calculation (NOVAK) 2.76x 1073

Table 3 compares the agreement between the stagnation point
locations on both surfaces using the previously described ap-
proach, an alternative approach developed by Buck and Prakash
[43] and the infinite cascade. Figure 8 presents predicted M, dis-
tributions for designs using the Buck and Prakash technique and
the design practice discussed here. An examination of these dis-
tributions verified that the bleed conditions have a negligible ef-
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Fig.5 Computed isentropic Mach number distributions for ex-

perimental turbine blade geometry using Chen variant of the

k-¢ turbulence model (Refs. [53,55]) Fig. 7 (a) Mach number contours for 2D infinite cascade vis-
cous simulation and (b) streamlines from infinite cascade
simulation as calculated and rotated by inlet angle for imple-
mentation in passage models

Table 3 Comparison of computed stagnation point axial loca-
Leading Edge Line tions for new design versus infinite cascade and Buck and

Prakash [43] design
Turbulence model M;=0(x/ paqe)
Axis of Blade Row k-& Chen (TI1% =10%, €/ cyjaq.=0.28) 2.28%1073
+Sc \ Rotation (x) Suction side blade, k-& Chen (T1% =10%, 2.64 %1073
€/ Cp1age=0.28)
Pressure side blade, k- Chen (TI% =10%, 2.64% 1073
€/ Chpaae=0.28)
Suction side blade [43], k- Chen (TI1% 10%, 1.24 %1073
Stagnation €/ Ch1aqe=0.28)
Streamline Pressure side blade [43], k- Chen (TI1% =10%, 3.71x1073

€/ Chrage=0.28)

Fig. 6 Definition of axial location
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Fig. 8 Comparison of M distributions for Buck and Prakash
[43] and new single passage design approaches demonstrating
the effect of bleed geometry

fect on the downstream shock structure. The computed skin fric-
tion coefficients along the bleed walls indicated that these walls
would produce no separation.

4.3 Exit Wall Design (Tailboards). The results presented by
Kodzwa and Eaton [44] demonstrated the necessity of curved exit
walls in achieving the desired shock structure. By extension from
the design process for the inlet walls, the desired exit wall designs
should be those that produce streamlines a &, away from the wall
that closely follow those of an infinite cascade flow field. Further-
more, considering that the displacement thicknesses of the bound-
ary layers on the exit walls are strongly coupled to the shock
structure, it is virtually impossible to determine a priori the opti-
mal wall shape. Thus some form of iterative scheme must be used
to design the exit walls.

Figure 9 evinces the similarities in the shock structure between
the infinite cascade flow field and one with periodic tailboards and
properly designed bleeds. The maximum error between the flow
fields was estimated to be approximately 8%. The error was de-
fined using the following equation:

Mc ‘

EMe =

)

M2DRANS

where Mc is the computed Mach number from the infinite cas-
cade simulation and M,prans i the computed Mach number from

2-D RANS
Single Passage

Ideal Single
Passage

with Periodic
Tailboards \

Fig. 9 Comparison of Mach number for ideal single passage
model and single passage model with periodic tailboards
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Fig. 10 Computed trailing edge streamlines from single pas-
sage calculation with periodic exit boundaries. These are used
to design the tailboards.

the single passage simulation.

Figure 10 displays computed trailing edge streamlines from the
single passage computation with periodic exit boundaries. The
design procedure for the exit wall is based on the postulate that
the ideal wall shape consists of the closest streamline to the trail-
ing edge, rotated to account for the growing boundary layer along
the wall. The pivot point for this rotation was assumed to be at the
trailing edge of each blade, as shown in Fig. 11. Based on previ-
ous results, it was conjectured that it was only necessary to adjust
the pressure surface exit wall. Hence, this wall was rotated coun-
terclockwise by a defined angle, ¢, A rotation angle for the
suction surface exit wall was also defined (¢,,). However, this
was found to be unnecessary by exploratory simulations.

Figure 12 presents the evolution of the single passage M;, dis-

Modified Pressure Side
Tailboard Streamline

Initial Pressure Side
Tailboard Streamline

Initial Pressure Side
Tailboard Streamline

Modified Pressure Side
Tailboard Streamline

_d)ss

Fig. 11 Definition of rotation angles for pressure and suction
side blade surfaces. Complete blades are shown in this figure
for ease of identification.
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Fig. 12 Comparison of M;s distributions for various pressure
tailboard angles

tribution with increasing angle of rotation for the pressure side
wall. When ¢,,=0 deg, the interference of the boundary layer
with the mainstream flow causes a strong initial shock to form,
evidenced by the dramatic drop in the suction side M;, distribu-
tion. As ¢y, increases, the Mj; distribution along the suction side
blade wall approaches that of the infinite cascade simulation. The
difference between these two results is minimized at a particular
angle; in these simulations it was at ¢,,=0.3 deg. Beyond this
value, the oblique shocks continue to weaken, resulting in even
faster flow over the suction side wall. These results also indicate
that beyond an angle of approximately ¢y~ 1.90 deg, there is a
limited change in the surface pressure distribution. In all cases,
there was no noticeable effect on the location of the stagnation
points due to the changing of the exit wall geometry.

The initial build for the single passage used a tailboard angle of
¢hps=0.3 deg. This angle was predicted to give the best Mj agree-
ment. The computed flow field “error” for this geometry (EMIC
=|M;c/Msprans—1]) demonstrated that high quality agreement
with the infinite cascade M distribution ensures a flow field that
closely matches that found in an infinite cascade. This result is
important as it suggests that precisely matching the desired M;g
distribution guarantees a match to the flow field conditions.
Kodzwa and Eaton [44] experimentally determined, however, that
such a model produced a strong normal shock in the passage.
After successive experimental iterations, the implemented tail-
board angle was ¢ ,;=1.90 deg; this produced a pressure distribu-
tion that closely followed the infinite cascade simulation, which
differed significantly from the prediction. This angle choice was
heuristically described as a “safety margin” to account for the
three-dimensional effects that resulted from thicker tailboard
boundary layers than those predicted by the two-dimensional
RANS design process or uncertainty in the manufacturing pro-
cess. As the flow field is very sensitive to this angle, instead of
using adjustable tailboards, we chose to machine this part out of a
solid piece of Ren Shape.

4.4 Experimental Validation. To evaluate the flow condi-
tions in the blade passage, two airfoil surfaces with closely spaced
pressure taps were installed in a model constructed out of a low-
thermal conductivity material (Ren Shape 450, a high-density
polyurethane material) to minimize thermal losses as much as
possible. The taps consisted of cross-drilled holes; the tap on the
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Fig. 13 Measurements of M for low turbulence condition for a
single passage model

surface was a 0.62 mm diameter hole, drilled perpendicular to the
local surface tangent and the cross-drilled port was a 1.6 mm di-
ameter hole. A 1.59 mm diameter copper tube with an internal
diameter of 0.88 mm was glued into the port. 1.59 mm diameter
Tygon tubes were push-fit over the ends of the copper tubes and
connected to a Scanivalve (Scanivalve Corporation #SSS-48C Mk
1I).

Figure 13 presents the measured M distribution without a tur-
bulence grid installed. For comparison, the desired pressure dis-
tribution for the given airfoil geometry and the computed M;,
distribution for the periodic single passage is included. The uncer-
tainty of M;, was computed to be +0.046 (P=0.95). These results
show close agreement with the desired pressure distribution for
the given airfoil geometry. The sole location where there is a
significant difference between prediction and experiment is at
S¢/ Chlade = 1.0. Grid refinement studies suggested that this differ-
ence was due to (i) inadequate grid resolution around the shock
and (ii) our chosen numerical algorithm. However, it is important
to note that this agreement is equivalent to that illustrated by
Medic and Durbin for the transonic rotor airfoil used by Camci
and Arts [28] (£10%). Thus we considered the agreement here to
be acceptable.

Table 4 compares the mass flow rates for the two design results
to their measured counterparts from the as-built model, as re-
ported by Kodzwa and Eaton [44]. The estimated uncertainties for
the mainstream and bleed mass flow rates were 1% and 6%, re-
spectively. The substantial difference between the measured and
predicted mass flow rates could be due to three-dimensional ef-
fects or deficiencies in our numerical models; however, further
study would be necessary to confirm the exact cause.

Kodzwa and Eaton reported experimental film effectiveness and

Table 4 Comparison of computed and experimentally mea-
sured (Kodzwa and Eaton [44]) bleed mass flow rates

Parameter Design Measured
Suction side bleed (11, kg/s) 893x102  82x107
Pressure side bleed (771, kg/s) 9.29X 1072 7.2X1072
Mainstream mass flow rate (72, kg/s) 0.616 0.670
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Fig. 14 Flow model for a double passage model design (from
Laskowski et al. [53])

heat transfer measurement data collected using this model. It is
important to state that these experiments were conducted at near
ambient conditions; consequently these data are not directly ap-
plicable to engine design. However, we believe that they are best
suited for comparison to numerical models due to their well-
defined thermal and flow boundary conditions.

5 Double Passage Model

In the double passage model, as no bleeds are present, it is
necessary to design the outer walls to account for boundary
growth from inlet to exit. The primary benefit of the double pas-
sage approach is that the difficulties associated with bleeds and
exit walls are circumvented. The general procedure is as follows.

1. Select the outer wall streamlines from the infinite cascade
simulation that generate minimal separation and a computed
pressure distribution that is close to the infinite cascade so-
lution.

2. Using an optimization procedure, refine these wall shapes to
account for boundary layer growth along the wall.

5.1 Flow Model. Figure 14 presents the computational do-
main used to develop this model. The maximum value of y* for
the nearest grid point to the blade was 0.9. The same inflow and
outflow conditions as those used in the single passage model
simulations were used. In order to keep the number of grid cells to
a minimum, a two-layer k-¢ model was specified at the blade
surface and wall functions were used for the passage walls. The
results were monitored to ensure that the cell nearest to the wall
was well within the viscous sublayer around the blade, and within
the log-layer along the passage walls. Grid refinement studies
showed that at least 70,000 cells were required for the simula-
tions.

5.2 Outer Wall Design. Laskowski et al. [53] presents a de-
tailed implementation of this approach for the previously de-
scribed blade geometry. An inverse procedure is utilized to deter-
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Fig. 15 Separation zone along the pressure side wall of
double passage (from Laskowski et al. [53])

mine the wall shape that will give the same surface pressure and
skin friction on the blade surface as that of the infinite cascade
result. The essence of this approach is the computation of a cost
function based on the blade surface pressure distribution and skin
friction. The ultimate objective is to develop outer wall shapes
such that streamlines a §; away from the wall closely follow those
of an infinite cascade flow field. However, a critical issue is the
selection of the initial wall shapes. The streamlines selected by
Laskowski et al. [53] were approximated from the predicted stag-
nation streamlines from the infinite cascade simulation. Subse-
quent calculations using these outer walls resulted in pressure gra-
dients along the upper wall large enough to produce a separation
zone (as shown in Figure 15). Consequently, a penalty function
was added to the cost function to ensure that the flow remained
attached along both the passage walls. Alternative choices for
streamlines for the initial set of outer walls were not explored to
determine if this could be avoided. Figure 16(a) presents the final
wall shapes for the double passage. The suction surface wall was
found to require little modification from the initial guess, as the
pressure gradients along this wall are favorable. This feature en-
couraged the development of thin boundary layers that minimally
affected the flow field. Figure 16(h) compares the computed Mach
number contours for the infinite cascade and the double passage
model, demonstrating the flow field agreement between the nu-
merically designed double passage and the infinite cascade condi-
tion.

5.3 Experimental Validation. To experimentally measure the
flow conditions in the double passage, an instrumented airfoil with
17 pressure taps was installed in the model. The walls were fab-
ricated from Plexiglas to allow the transmission of laser light for
high-accuracy particle-image velocimetry (PIV) and LDA. This
procedure allowed for measurement of the mean flow field and
various turbulence correlations.

The taps consisted of cross-drilled holes. The tap on the surface
was a 0.58 mm diameter hole, drilled perpendicular to the local
surface tangent. These were connected to the Scanivalve. Figure
17 compares the measured and predicted M distributions for the
model against the infinite cascade simulation. This figure demon-
strates that the numerical optimization procedure indeed devel-
oped a model that met the desired distribution. The measured
mass flow rate through the system was 0.63 kg/s, which is
slightly lower than the single passage.

However, even after considerable numerical design effort, PIV
measurements by Vicharelli and Eaton [46] indicated that the
separation zone along the pressure side wall persisted in the com-
pleted model and affected the measured turbulence flow field.
This result was observed in spite of the fact that the mean flow
measurements around the blade were in relatively good agreement
with their computed counterparts. This observation demonstrates
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Fig. 16 (a) Final wall shapes for the double passage model and (b) com-
parison between the computed double passage design and infinite cascade
Mach number contours (from Laskowski et al. [53])

that future facilities should specifically target elimination of this
issue. We are currently in the process of performing high-
resolution, boundary layer LDA measurements for comparison
against numerical predictions. These data may be used to establish
various boundary layer thickness parameters around the airfoil.

6 3-D Simulation Results

The models were developed using two-dimensional flow com-
putations. Nevertheless, in the actual experimental facility, the
flow is inherently three dimensional, in part due to the presence of
flat endwalls that enclose the model. Researchers such as Lang-
ston [54] and Chung and Simon [41] have demonstrated that the
boundary layers that develop along the endwalls cause highly
complex three-dimensional flow features in between cascade
blades. With this in mind, the aspect ratio of the model was cho-
sen to be AS=1.276, where AS is defined as:

H

model (3)

AP

AP 1is the blade pitch spacing and H,,.4, 1s the passage height.
This value was based on recommended practice as reported by
Buck [49] and flow supply limitations. Ideally, this aspect ratio is
large enough such that the three-dimensional effects are limited to
the near-endwall regions. This design approach would result in a

AS =
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Fig. 177 Measurements of M, for low turbulence condition for
the double passage model (from Laskowski et al. [53])
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highly two-dimensional flow field over a wide-band encompass-
ing the midspan region of the blade. Three-dimensional RANS
simulations of the single and double passages were used to verify
this assumption; further details can be found in Ref. [44,45].
Results from the single passage model calculations are only pre-
sented here, in the interests of brevity. However, the double pas-
sage model simulations exhibit practically identical characteris-
tics.

The calculation domain included one-half of the channel width
with a symmetry boundary condition at the channel centerline. A
hyperbolic tangent grid stretching was used to resolve the endwall
boundary layers. The computational grid contained approximately
2.6 X 10° cells, with y* values ranging from 1.3 X 10™*=y*=3.0.

The computed three-dimensional M; distribution at midspan of
the model (Z' =z/H ,4=0.0) was found to closely agree with the
two-dimensional simulation. This result demonstrated that the
two-dimensional calculation is a good representation of the mid-
span flow conditions. Figure 18 compares the M;, distribution at

—4—— k- Chen — Single Passage (¢, ,, = 0.0°, ¢, ,, = 1.9° 3D, Z' = 0.0)
—<-— k- Chen — Single Passage (¢, ,, = 0.0°, ¢, ,=1.9°, 3D, Z' =- 0.375)
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Fig. 18 Comparison of Mg distributions at Z’'=0.0 (centerline),
Z'=-0.375, and Z'=-0.5 (endwall)
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the endwall (Z'=-0.5), at the centerline (Z'=0.0), and at an ex-
emplary intermediate location (Z'=-0.375). The effect of three-
dimensionality is primarily observed on the suction side wall. This
behavior was subsequently attributed to vortical structures that
form from the endwall boundary layers. An examination of pre-
dicted M;, distributions at various locations evinced that the three-
dimensional nature of the flow is limited to region —0.25<Z'=<
—0.5. It should be stated that these results are specific to this
geometry and flow conditions; hence, it is difficult to extend these
results to other facilities.

7 Conclusions

Two alternative approaches for achieving well-documented
flow at conditions of interest to gas turbine designers have been
presented. The design procedure and philosophies for transonic
single and double passage models have been introduced and de-
veloped. Single passage models are advocated as a means of ob-
taining highly resolved heat transfer measurements with minimal
surface conduction losses, whereas double passage models have
been presented as a manner to obtain high-resolution fluid dynam-
ics measurements around turbine airfoil geometries. Both ap-
proaches have been developed to produce a two-dimensional flow
field that is identical to that in a two-dimensional infinite cascade.
Pressure measurements from facilities built using these design
procedures were used to verify this assertion. These facilities offer
tremendous savings over linear cascades, as only one or two pas-
sages are utilized. This approach allows the use of steady state
heat transfer measurement techniques that are more amenable to
comparisons with numerical simulations. We have performed sur-
face heat transfer and PIV measurements using both models. We
are also in the process of performing detailed boundary layer mea-
surements around the center blade in our double passage experi-
ment. It should be stated that the mass flow requirements of these
two facilities were approximately identical. This result is due to
the fact that the single passage model has boundary layer bleeds to
limit viscous effects. Thus the cost of running and manufacturing
both facilities is practically identical. It is important to point out
that these models are designed for a specific inlet flow angle and
pressure ratio; it is unclear how useful this approach would be for
significantly off-design conditions. Furthermore, we have only
validated these design philosophies for a transonic rotor blade
geometry with fully attached boundary layers. Consequently, an
important question that future efforts must answer is the utility of
these models with significantly different airfoil geometries.
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Nomenclature
AS = aspect ratio (mm)
AP = blade pitch spacing (mm)
Cplade = blade chord length (mm)

¢, = specific heat with constant volume
€ = error
Hyoqer = model height (mm)

= integral length scale (mm)
= mass flow rate (kg/s)

031001-10 / Vol. 131, JULY 2009

specific heat with constant pressure

Mp = Mach number
P = static pressure (Pa)
P, = stagnation (total) pressure (Pa)
T = static temperature (K)
T, = stagnation (total) temperature (K)
TI% = turbulence intensity
iiee = area-averaged inlet velocity
s. = distance relative to stagnation point along air-
foil surface (mm)
x = axial distance relative to airfoil leading edge
(mm)
y* = dimensionless wall normal distance
z = spanwise surface coordinate relative to the cen-
terline of the passage (mm)
Z' = dimensionless spanwise surface coordinate
relative to the centerline of the passage
8, = displacement boundary layer thickness (mm)
¢ = rotation angle (degrees)
v = ratio of specific heats (c,/c,)
p = density (kg/m?)
n = kinematic viscosity (Pa-s)

Large subscripts/superscripts

2DRANS = refers to two-dimensional RANS simulation
1 = refers to dimensionless distance
+ = refers to dimensionless distance
blade = refers to blade dimensions
¢ = refers to blade surface
IC = refers to infinite cascade simulation
is = refers to isentropic condition
model = model
p = referring to constant pressure
plenum = plenum condition
0 = stagnation (total) condition
rec = recovery condition
v = refers to constant volume
ss = refers to suction surface
ps = refers to pressure surface
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1 Introduction

The vibration behavior of conventional bladed disk assemblies
was investigated in detail a long time ago (for example, Refs.
[1-5]).

Due to the manufacturing process (milling, polishing, friction
welding, etc.) and material inhomogeneities of the alloy, blade-to-
blade variations in bladed structures such as compressor rotors
occur. This so-called mistuning results in a lot of negative effects
that have been studied for more than thirty years. Ewins [6,7]
showed that these blade-to-blade deviations occur in higher blade
displacement amplitudes in combination with a splitting of double
modes. Whitehead [8,9] derived a maximum amplitude magnifi-
cation factor, which predicts the maximum forced vibration re-
sponse of blades due to mistuning.

Wei and Pierre [10,11] considered that the mistuned case rep-
resents perturbations of the tuned system using the perturbation
technique. They concluded that the vibration behavior depends on
the ratio of absolute amount of mistuning strength and the cou-
pling between the blades through the disk. In addition, Griffin and
Hoosac [12] as well as Bladh et al. [13,14] determined the influ-
ence of interblade coupling on localized blade modes.

Kielb and Kaza [15], Wildheim [16], Wilson [17], and Yingfeng
et al. [18] measured unsteady blade loads arising from the fluctu-
ating forces due to the passing of wakes through the blade rows.
The aerodynamic coupling of the blades was included in the cal-
culation approach by Pierre and Murthy [19]. Schrape et al.
[20,21] investigated the effects of in- and also antiphase-blade-
motion of tuned and mistuned blisks on aerodynamic damping.

All of the previous characteristics of mistuned bladed disks
have to be regarded also during the design and test-phase of future
aeroengine rotors. At this integrated bladed disks (blisks') become
more important aiming at more environmental-friendly, more ef-
ficient, and more powerful aeroengines [22,23]. The deletion of
the heavy blade-disk connection results in reduced masses, higher
maximum rotational velocities, and improved pressure ratios (in-
creased efficiency factors). In this connection also, a number of
disadvantages occur such as very low structural damping and
higher sensitivity with regard to mistuning [24]. Thus especially
the mode localization has to be kept in mind during the rig test
vibration monitoring because only a few blades will be instru-
mented with strain gauges (s/g). Due to the demand for an ac-

lor integrated bladed rotor (IBR).
Manuscript received January 29, 2007; final manuscript received August 15,
2008; published online April 2, 2009. Review conducted by Matthew Montgomery.
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ceptable signal-to-noise ratio, only blades with high amplitudes
are suitable for s/g instrumentation. That implies that an optimal
choice of suitable blades is indispensable to avoid critical misin-
terpretations during measurement-result-analysis.

Up to now, the ability to predict the sensitivity of different blisk
designs and blade vibration modes to mode localization and the
knowledge of how to design less mistuning sensitive blisks is still
missing [25]. To achieve a better understanding of these contexts,
free and forced vibration behaviors of updated full finite element
(FE) models of the first rotor stage from the Engine 3E” high
pressure compressor (HPC) is analyzed using different evaluation
factors.

2 Natural Vibrations of Tuned Blisks

Integrated bladed disks have a multitude of different eigen-
modes, which can be characterized by the number of diametric
and concentric nodal lines.?

In general, the eigenmodes of a tuned blisk can be divided into
three categories using the blade’s contribution to the total blisk
strain energy: disk-dominated, blade-dominated, and “coupled”
vibrations (Fig. 1).

2.1 Disk-Dominated Vibrations. The disk dominates the vi-
bration mode of the total blisk (see Fig. 2). The blades can be
idealized as covibrating rigid bodies, which contain only a small
part of the total blisk strain energy (see Fig. 1, left side).

Due to the existence of nodal diameters (ND), a cyclic symme-
try mode (CSM) appears. The maximum number of nodal diam-
eters depends on the blade number N.

N

CSM,ax = 5 for even N (1)

CSM for odd N (2)

max —

The solution of the eigenvalue equations always generates double
eigenvalues except for two cases,*> which result in two orthogo-

German research program aiming at new HPC technologies, 3E=efficiency,
economy, and environment.

3Diametric nodal lines: nodal diameters (ND), concentric nodal lines: nodes
circles.

“In case of the CSM 0, only a single eigenvalue occurs.

3If the number of blades is even, the CSM,,.x has a single eigenvalue only.
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Fig. 1 Vibration mode characterization using the blade’s con-
tribution to the total blisk strain energy (mean value of double
eigenmodes)

nal eigenvectors.

Caused by the homogeneous mass and stiffness distribution, the
eigenmodes of the blisk have no spatial orientation with respect to
the blisk.

2.2 Blade-Dominated Vibrations. Neglecting the three-
dimensional geometry of modern compressor blades as a first as-
sumption, the blades can be considered as a plain plate.

Generally, the fundamental eigenmodes with the lowest eigen-
frequencies of a cantilever plate are the first flap and the first
torsion mode, respectively. Depending on the aspect ratio of the
plates, modes with higher eigenfrequencies will follow, e.g.,
higher flap or torsion modes and also other complex blade modes
such as edgewise modes, tramline modes, etc. (see Fig. 3).

Analogous to the disk-dominated modes, nodal diameters also
appear in blade-dominated modes. There are 0 to CSM,,,, char-
acteristic nodal diameters per fundamental blade mode (see Figs.
4 and 5). The maximum number of blade vibration modes can be
determined to N.°

2.3 Coupled Vibrations. The so-called coupled vibration
modes represent a combination of disk-dominated and blade-
dominated modes. Caused by the physical connection between the
disk and the blades, all vibration modes are coupled, so the nota-

Orf CSM=CSM,,,,, all blades oscillate in counter phase to each other.

Fig. 3 Fundamental blade vibration modes (first flap mode
(left), second flap mode (middle), first torsion mode (right)),
fixed sector model, magnitude of displacements

tion is not ir1disputable.7

In technical terminology, this term is used for vibration modes,
where both disk and blades store a similar high quantity of the
total blisk strain energy (see Fig. 1, middle).

This classification of blisk modes supports an improved rating
of high cycle fatigue (HCF)-sensitive vibration modes, because
generally only blade modes result in critical blade strain levels.
Thus a benefit results from strain gauge calibration, where only
s/ g response signals of blade modes have to be referred to blade
displacement amplitudes. If the adjacent disk and/or coupled
modes with dominating disk displacements and negligible blade
displacements are included, misinterpretations of vibration-
monitoring-system results are probable.

2.4 Coupling Diagram. The coupling diagram offers the pos-
sibility to illustrate the complex vibration behavior of a blisk. The
eigenfrequencies are printed depending on the number of nodal
diameters (see Fig. 4).

Looking at all modes of one fundamental blade mode family,
one can recognize that, in general, the eigenfrequencies increase
up to the frequency of the clamped blade with an ascending num-
ber of nodal diameters® (see Fig. 5).

The reason for that is the stiffer reaction of the disk with as-

"If the disk displacement can be disabled (which means a complete decoupling of
blades and disk), the blade alone frequency (also called as single blade frequency)
can be determined for an infinite stiff clamping, respectively.

8Blisk vibration modes with a low number of nodal diameters are often excep-
tional cases in cases of free boundary conditions.

nodal diameter lines

>

DN e b b e bt b e e b e O

\

—
N~

.
=
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~

\
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blade number

Fig. 2 Disk-dominated vibration mode (CSM 2, 731.2 Hz; displacement magnitude (left),
normalized axial displacements at all blade tips (right), Engine 3E HPC Rotor 1)
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Fig. 5 Enlarged section of the coupling diagram compared to
the blade’s contributions to the total blisk strain energy, first
torsion modes, free boundary conditions

cending number of nodal diameters (see also Refs. [2,5]).

In general blade vibration modes govern the maximum opera-
tional lifetime of compressor rotors caused by the high strain lev-
els of the blades, so the focus of the following chapters is located
on these. In this context, the disk and coupled modes will be
neglected in all further investigations.

Kenyon [26] pointed out that high amplitude magnifications of
so-called veering regions do not necessarily indicate maximum
blade amplitudes higher than those possible for isolated mode
families. The appearing higher magnification factors are a result
of the reduced tuned response of veering regions.

3 Forced Vibrations of Tuned Blisks

According to the requirement of correlation of vibration mode
shape and excitation mode shape, a kth CSM can only be excited
by a kth engine order (EO), respectively, kth-aliasing EO, in case
of a tuned system.

In a real aeroengine, the number of generated wakes, which
determines the EO mainly depends on the number of the upstream
and downstream located guide vanes as well as the number of
blades’ of the adjacent compressor stages and their multiples.

If the wakes, which produce a local pressure gradient, are
passed by the blades during rotation, the blades will be excited
with the number of wakes (see also Ref. [18]). The number of
existing wakes determines the value of the engine order. The dis-
placement amplitudes of each blade and all displacement compo-
nents i are similar and appear with a delay of the interblade phase

angle @cgm:
°In case of multishaft aeroengine with different rpm.
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Fig. 6 Different artificial sinusoidal mistuning distributions
caused by blade Young’s modulus modification of Engine 3E
HPC Rotor 1

27CSM

Gosm="— CSM=0 10 CSMy, 3)

It is valid:

Ui=Uy=Uy 4)

4 Natural Vibrations of Mistuned Blisks

4.1 Modeling of Blade Mistuning. The modeling of the in-
dividual blade mistuning using a full FE-model can be realized by
changing the material properties: Due to the decrease and increase
in the individual blade’s Young modulus E;, the blade eigenfre-
quencies can be modified without changing the blade geometry
(material dependent mistuning).

At this, Young’s modulus of the disk is constant. It is valid:

fi~E, 5)

The change in blade eigenfrequencies is proportional to the
change in the square root of the blade’s Young moduli (see Fig. 6).
Due to easier adaptability in contrast to alternative mesh mor-
phing method (geometry dependent mistuning), this procedure is
chosen for all further investigations.

In contrast to the measured mistuning distributions (Fig. 7),
which differ from blade mode to blade mode and can be charac-
terized by a Weibull-distribution, different artificial sinusoidal
blade mistuning deviations are used to get better clearness com-
paring different blade modes and mistuning levels with each other.
Here, the number of full sine waves around the blisk circumfer-
ence was chosen to be 1, 4, and CSM,,,, (12) with standard de-

d \
Y1113 1547

- .

2

=

=

>

3 ---- 1st flap mode
2 A ——2nd flap mode
= T T T T T T AN .

S !/ ; A\ — Ist torsion mode
g 1/ 19 21 23 25

g |

&

blade number
Fig. 7 Measured blade eigenfrequency deviations of Engine

3E HPC Rotor 1, (--*) first flap mode, (---) second flap mode, (—)
first torsion mode
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viations of 0.07%, 0.15%, 0.24%, 0.68%, 1.36%, and 2.71%.
Generally, the mistuning of a blade-disk-assembly results in sev-
eral fundamental effects.

4.2 Splitting of Double Modes. The pairwise appearing ei-
genvalues of the system are split into two closely adjacent eigen-
values caused by the missing symmetry, see, for example, Ref.
[27].

For the case described below, a stronger mode splitting can be
observed with higher eigenfrequencies. The associated double
eigenmodes (so-called double modes) with different eigenfrequen-
cies have a fixed orientation on the blisk. By increasing the mis-
tuning of the system, the distance between the adjacent eigenfre-
quencies increases.

4.3 Mode Localization. The local concentration of higher
blade displacement amplitudes — the so-called mode localization
— also indicates modified vibration behavior of mistuned blisks.

The vibration modes are characterized by regions of high and
low displacement amplitudes. The worst case is the fully localized
mode characterized by only one oscillating blade (Fig. 8). Thus a
clear assignment of the single vibration modes to a CSM becomes
more difficult. The displaced nodal diameters of the CSM are
transformed into modified cyclic symmetry modes (MCSM), in
case of slight mistuning. With increased mistuning, warped nodal
diameter lines also vanish. The formerly pure sinusoidal vibration
modes of the tuned system are transformed into a superposition of
many single sinusoidal vibration modes, where the percentages of
the several harmonic vibrations may be different (see Fig. 11).

5 Forced Vibrations of Mistuned Blisks

A completely symmetric manufactured tuned blisk without any
imperfections is not possible at the current state of the art. Thus a
mistuned excited blisk can be regarded as the regular case during
operation of an aeroengine.

5.1 Forced-Response Analyses. Induced by the huge number
of Fourier coefficients of the modified vibration modes, many
resonance peaks can be observed in the frequency response func-
tion (FRF) of the individual blades during the excitation by a kth
engine order. Each peak correlates with a vibration mode, which
has a kth harmonic in its Fourier decomposition. The maximum
amplitude level of the FRF depends on the percentage of the kth
harmonic on all Fourier coefficients (see Fig. 9).

5.2 Amplitude Magnification. As an additional effect of the
vibration behavior of mistuned blisks local magnifications and
minifications of the blade displacements appear compared to the
tuned ideal blisk (for example, Refs. [8,9]), which are essential for
high cycle fatigue during excitation. At this, the maximum blade
displacement magnification factor differs from blade-to-blade. It
is defined as

Umt i
Uln i

(6)

The magnification of an amplitude can reach a value >2, de-
pending on the mistuning level, the blisk geometry, the corre-
sponding total mode damping, and the exciting EO (see also Refs.
[10,11,28,29]. In addition, Srinivasan [30] and Slater et al. [25]
published compendiums of mistuning effects.

Recapitulating the maximum blade amplitude magnification
and the splitting of the double modes play major roles for high
cycle vibration fatigue and resonance excitability, whereas mode
localization has to be kept in mind for rotor instrumentation and
strain gauge measurement result analysis.

6 Concept of the Mode Fill Factor

The variation of the vibration modes of the blisk depends on
many parameters. In order to get a clear statement of the magni-
tude of these mode variations, a discrete Fourier transform (DFT)
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can be used as basis to evaluate the mistuning modes such as done
before by Castanier and Pierre [31] and Kenyon et al. [32]. Simi-
lar to these publications, the mistuned mode is represented as a
superposition of tuned modes, where the coefficients of the single
tuned modes in the modal summation characterize the level of
mode distortion. Again the criterion introduced below describes
the deviations of the vibration modes of a mistuned system com-
pared to the tuned one independent from the blade number.

6.1 Tuned Systems. Except CSM 0, which has similar dis-
placements for all blades at the same time 7, 1 to CSM,,,, sine
waves appear for all of the vibration modes of the tuned system
around the circumference of the blisk. By using a Fourier decom-
position of the circumferential blade displacements, the vibration
mode can be split into harmonic parts and a constant part, which
describes the zero offset.

In case of the tuned system, only one of the Fourier coefficients
DFT; is unequal to zero. With the exception of CSM 0, a pure
sinusoidal vibration mode appears without disturbing sidebands.
The Fourier coefficient corresponds to the number of the CSM of
the corresponding vibration mode (Fig. 10). The ratio of the sum
of all Fourier coefficients to the maximum Fourier coefficient
&uneq 18 defined as

DFT,
— max - 1 (7)
DFT,

max

; (E,C:SOM"*BXDFT)
d =
e DFT tuned

In case of the tuned system, the mean value of all Fourier coeffi-
cients

max

] CSMmax
DFT= ——— DFT, 8
CSM, . + 1 % ! ®)
can be determinated as
R DFT
DFT e 9)

wed = CSM, + 1

u .
axialyg o, DET
4l N 2
0,5
- DFT"‘IBX
0
1
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\ 0.5 DFT
-1
1 4 7 1013 16 19 22 25 512345678 5101112

blade number
Fig. 10 Left: normalized axial blade displacements at all lead-

ing edge blade tips of CSM 1 (tuned system, torsion mode);
right: Fourier decomposition of the vibration mode
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6.2 Mistuned Systems. If the blade eigenfrequencies differ
from each other, locally limited and variable blade displacements
appear around the blisk’s circumference. These effects result in
additional Fourier coefficients. Due to the deviations in the vibra-
tion modes compared to the tuned systems, the sum of all Fourier
coefficients is increased (Fig. 11).

The maximum ratio of the sum of all Fourier coefficients to the
maximum Fourier coefficient &,;quneq OCcurs, if all Fourier coef-
ficients have identical values. At this & ;suneq Will reach its maxi-
mum because of DFT=DFT,,,,=DFT;. According to Eq. (7) the
maximum is

_ ( E?:S()NlmaxDFTi
DFT

Hence, & isunedmax just depends on the number of blades N or the
maximum number of cyclic symmetry modes CSM,,,+ 1, respec-
tively.

=CSM,,,+1 (10)

gmismned,max )
max mistuned, max

6.3 Definition of the Mode Fill Factor. To compare the mag-
nitudes of mode filling of different blade modes or different blisks
designs with each other, the transformation of the blade-number-
dependent ratio ¢ to the mode fill factor using

100
mode fill factor = C—(f— 1) (%) (11)

max

is helpful. This factor specifies the number of harmonics that are
included in the vibration mode in a range between 0% (pure sinu-
soidal vibration mode,'® &=1, no sidebands) up to 100% (all Fou-
rier coefficients are equal, £=CSM,,,+1). In other words, how
strong is the deviation of this mode with regard to a pure sinu-
soidal vibration mode and how many EOs are able to excite this
(M)CSM? Using this additional information helps the aeroengine
designer to evaluate critical areas in the campbell diagram of mis-
tuned bladed disks.

7 Concept of the Localization Factor

The single use of the amplification factor gives no information
about the number of high displacement blades during forced re-
sponse analysis of a mistuned blisk. Hence, it is possible that a
number of blades reach high magnification factors or only one
single blade reaches a higher displacement level, which is impor-
tant in terms of an optimum blade selection for strain gauge in-
strumentation of rotor stages and vibration results analysisl

In addition to the magnification factor, which determines the
maximum displacement magnification of all blades regarding the
tuned system, a localization factor (LF) shows how many blades
will achieve this high magnification levels. Although Ewins [7]
and others observed vibration localization phenomena, Hodges
[33] showed first that it is a kind of Anderson [34] localization,

01n case of 1<CSM < CSM -

"Due to many restrictions, the maximum number of strain gauges on blades per
rotor is limited to ~6-9. Thus only blades with high blade amplitudes are suitable to
achieve a sufficient signal-to-noise ratio during vibration monitoring.

JULY 2009, Vol. 131 / 031002-5

Downloaded 28 May 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



axialyon i»max

1 TN 1
RMS
0,5 0,5 e
Rl SU

0 0 TN AT

-0,5 -0,5
N
1 N 1

I 4 7 1013 16 19 22 25 1 4 7 101316 19 22 25

blade number blade number

Fig. 12 Normalized axial blade displacements at all leading
edge blade tips of CSM 1 (left) and MCSM 1 (right), first torsion
modes

which is characterized by increasing mode localization levels in
case of increased disorder of substructures. In many localization
studies, the Lyapunov exponent is used to define mode localiza-
tion (see also Ref. [35]). In contrast to these classical definitions,
a method is introduced below, which transforms the complex vi-
bration behavior of a huge number of blades into one illustrative
indicator to ensure an efficient and fast evaluation of the localiza-
tion sensitivity of different blisk designs or blade modes. A further
approach can be found in Ref. [36].

7.1 Tuned Systems. Regarding the blade circumferential dis-
placements at the time 7, one gets a number of blades N discrete
representation of the corresponding vibration mode. With the ex-
ception of CSM 0, where all blades have indentical displacement
at the same time ¢, all of the other vibration modes are character-
ized by discrete sine waves around the circumference depending
on the CSM.

A special feature of the undisturbed sine waves is the constant

ratio of the maximum blade displacement amplitude lAJiJmIX to the
root mean square (RMS) of all blade displacement values. Hence,

N

/1 2

RMSy, ™ X,E} Ui
=

is independent of the number of sine waves around the circumfer-
ence (see Fig. 12, left side), which constitutes the basis of the
following calculations.

The ratio of the maximum blade displacement amplitude to the
root mean square of all blade displacements {peq 1S

(12)

Ui,max _ U[,max
RMSUi,luned lA]i,max X 1/\5
for 1 <CSM <CSM,,, (odd N) or | <CSM <CSM,,.«x (even N).

In case of the umbrella mode with U = 01’N= [A]l-,max or CSM, .«
(N=even) with RMSy, .= lA]i,max it follows

-\2 (13)

gluned =

é, _ Ui,max _ Ui,max -1
tuned — = A -
" RMSUi,luncd Ui,max X1

(14)

7.2 Mistuned Systems. If the blade eigenfrequencies differ
from each other, a noncyclic-symmetric, unevenly blisk vibration
mode (MCSM) appears represented by various blade displace-
ment magnitudes around the circumference of the mistuned blisk.
Due to the deviations of the eigenmode of the mistuned system
compared to the tuned one, the root mean square of the blade
displacements decreases (see Fig. 12, right side).

The maximum mode localization that is characterized by only
one oscillating blade results in the minimum root mean square
value.

031002-6 / Vol. 131, JULY 2009

I, 1
RMSUi.misluncd,min = ITI Ui,max = ]T[Ui,max (15)
Thus the maximum ratio of the maximum blade displacement am-
plitudes to the root mean square of all blade displacements
gmistuned,max is defined as

A

U _ Ui,max _ \ﬁ
U.

i,max

i,max

gmiStuned'max ) RMSUi.misluned.min B 1
N
for 0 = (M)CSM = CSM,,,,

and just depending on the number of blades N.

(16)

7.3 Definition of the Localization Factor. Analogous to the
mode fill factor presented before a transformation of ¢ into the
blade number independent LF is necessary for the comparability
of the mode localization level of different blisk designs with dif-
ferent blade numbers. This factor describes the local limitation of
the vibration mode in a defined range of 0% (no mode localiza-

tion, pure sinusoidal vibration mode, {j<csm=csm,, N=even= V2

and gCSM#O,N:odszJz, respectively, {csm=0=1 Or fcsm,  N=even
=1) up to 100% (maximum mode localization, only one blade
oscillating, {=\N).
Consequently, the localization factor is defined as
100

LF=——=({-\2) (%)
VN =12

if 1 = (M)CSM = (M)CSM,,, (odd N)

or 1 = (M)CSM < (M)CSM,,,, (even N) (17)
and
L= =1) ()
if (M)CSM =0
or (M)CSM = (M)CSM,,,,« (even N) (18)
respectively.

8 Localization Phenomena of a Real High Pressure
Compressor Blisk

The evaluation criteria of mode filling and mode localization
are exemplarily computed for blisk rotor 1 of the Engine 3E HPC.
Again the measured blade mistuning distributions are substituted
by different artificial sinusoidal blade mistuning distributions with
different mistuning levels to ensure the comparability of different
blade modes.

8.1 Natural Vibrations

8.1.1 Influence of Mistuning Level and Blade Mode. Accord-
ing to Eq. (17) or Eq. (18), respectively, localization factors of
blisk with different mistuning levels were calculated (see Figs. 13
and 14).

Starting from the tuned system without any mode localization, a
continuous increase in the localization factors can be observed
with increasing blade mistuning for all of the three fundamental
blade modes as well as the disk and coupled modes (see Fig. 14).
At this, it has to be mentioned that in case of lower MCSM (1-4)
significantly lower localization factors occur in contrast to higher
MCSMs. Furthermore the bandwidth of eigenfrequencies in-
creases (double mode splitting) with increasing mistuning levels
— the eigenfrequencies of the various vibration modes are bear-
ing off from each other (see Fig. 13), so the bandwidth of possible
blade mode resonances enlarges, which has to be regarded during
the aeroengine development to avoid critical resonances in

Transactions of the ASME

Downloaded 28 May 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



A tuned

© mistuned-0.07%
© mistuned-0.15%
© mistuned-0.24%
© mistuned-0.68%
® mistuned-1.36%
® mistuned-2.71%

localization factor [%]

to f,, normalized frequency

Fig. 13 Localization factors of natural vibrations depending
on the blade mistuning standard deviation of first torsion
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circumference

operation.

It can also be recognized that disk-dominated and coupled
modes are less sensitive to mode localization due to their lower
blade percentage on the total blisk strain energy (see Figs. 14 and
19). In contrast to the medium localization factors of mistuned
flap modes, the mode localization of torsion modes is significantly
more pronounced caused by the lower coupling between the indi-
vidual blades (see Figs. 13 and 19).

Complemental Fig. 15 shows the context between localization
factor and the level of mistuning. As one can recognize, the curve
shapes of the localization factors are very sensitive regarding
blade mistuning for small mistuning levels (0% < Opisuning
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Fig. 14 Localization factors of natural vibrations depending
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distributions
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<0.2%). A nearly linear relation between mistuning standard de-
viation and localization factor occurs. With increasing mistuning
standard deviations, local maxima and minima can appear
(0.2% < O pituning < 0.4 %) followed by a continuously increase in
the localization factors (O pistuning <0.4%) upto 67.5% (first flap
mode), 68.3% (second flap mode) and 97.5% (first torsion mode).

Caused by the inevitability of manufacturing tolerances as well
as material inhomogeneities, it makes no good economic sense to
reduce the mistuning level as low as needed for a significant de-
crease in mode localization effects (O piguning <0.1%). Thus a re-
liable and robust prediction of the maximum mode localization,
the corresponding blades, and the maximum amplitude magnifi-
cation is not only the prerequisite for dimensioning of aeroengine
compressors but also for the optimum selection of blades to be
instrumented with strain gauge, in particular, in case of low-
damped blisk rotors.

Using the mode fill factor computation for all three fundamen-
tal vibration modes according to Eq. (10), an increase in mode
filling can be observed for increasing blade mistuning levels too.
Just like the maximum localization factors, the maximum mode
fill factors appear at the first torsion modes (87.8% at T mistuning
=2.71%). In contrast to the torsion mode, both of the flap mode
families result in lower mode fill factors (first flap mode: 58.9%,
second flap mode: 55.1%, resp.).

The relevant difference between both factors is pointed out us-
ing Fig. 16. High mode fill factors are not accompanied by the
high localization factors in any case: Vibrational modes with mod-
erate mode fill factors (which means modes with a moderate num-
ber of harmonics in their Fourier decomposition) are more sensi-
tive to mode localization than modes with a high number of
harmonics. This characteristic is much more pronounced in the
case of slightly mistuned blisks than for strong blade mistuning
(Fig. 17).

With an increased mistuning level, the percentage of blades on
the total blisk strain energy decreases due to lower number of
mode-participating blades. Hence, in case of the high localized
torsion modes the mean value of blade percentage decreases from
98.8% to 98.4% (see Fig. 18, in addition: first flap mode:
95.9% —93.9%, second flap mode: 89.1% — 83.5%).

The highest mode localization appears for the highest cyclic
symmetry mode MCSM 12 independently from the mistuning
level (see Fig. 19).

Again the mean level of mode localization of all three funda-
mental blade modes corresponds with the blade percentage on the
total blisk strain energy (Fig. 19). Hence, in conformity with
Slater et al. [25] and Kenyon et al. [37] who concluded that strong
internal coupling prevent mode localization in mistuned systems,
one can agree to their statement that internal coupling is always
mode dependent. In addition to this, Crawley [38] showed that the
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interblade coupling also depends on the stagger angle of the
blades. Complementary coherences between the energy input via

coupling and stress amplifications were also derived by Lim et al.
[39].

8.1.2  Effect of Disk Stiffness. Because of the known influence
of disk stiffness on interblade coupling (see Refs. [14,40]),
aeroengine manufacturers are interested in reducing mode local-
ization as well as blade amplitude magnification using modified
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Fig. 18 Percentage of blades on total blisk strain energy of
natural vibrations depending on the blade mistuning standard
deviation of first torsion mode, 1-sine-wave mistuning distribu-
tion around blisk circumference
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hub sections to extend service life.

To verify suitable disk stiffness ratios, the Young’s modulus of
the disk section was modified by =50% of the original value in
the first step. As presented in Figs. 20 and 21, the percentage of
blades on the total blisk strain energy steadily increases with
higher disk stiffness caused by the stiffer embedding of the blades
on the disk.

As a result, the eigenfrequencies of the blade modes as well as
the eigenfrequencies of the disk and coupled modes increase. In
addition to this, an increasing mode localization can be observed
due to the decreased interblade coupling.

In contrast to the first and second blade flap modes with
steadily increasing mode localization, in the case of the first blade
torsion modes local maxima (at 95% and 125% of the original
disk stiffness) and minima (at 70% and 115% of the original disk
stiffness) occur.

Aiming at a minimization of the mode localization effects, the
modification of the disk stiffness has to take all of the relevant
blade modes into consideration. Within the realms of constructive
possibilities and without consideration of the local maxima and
minima, this indicates a reduction in disk stiffness to increase the
interblade coupling and to decrease the structural blade-to-blade
isolation.

8.2 Forced Vibrations. The focus of the following chapter is
set on forced response analyses to cover the aerodynamic forces,
which excite compressor rotors during both, operation and rig test
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Fig. 21 Localization factor versus percentage of blades on to-
tal blisk strain energy depending on the disk stiffness; (- - ) first
flap mode, (---) second flap mode, (—) first torsion mode, aver-
age of three artificial sine-wave mistuning distributions
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runs depending on the operating point. At this aerodynamical
damping12 including fluid-structure-interactions'> and structural
damping14 will limit the resulting blade amplitudes. As a first
assumption, a modal damping value of D=0.1% (Q=500) was
selected as basis for the following analyses. Engine orders 1, 4
and CSM,,,, (12) were chosen for the illustration of various
forced responses.

8.2.1 Influence of Mistuning Level and Blade Mode. The
curve shapes of the localization factor of the forced response re-
sults are similar to the curve shapes of the former determined
eigenmodes (see first torsion mode results in Fig. 15 for example).
Again, the localization factors and mode fill factors of the torsion
modes are higher than the corresponding values of the first and
second flap modes at identical mistuning levels. As maximum
localization factors 83.0% for first torsion mode, 70.3% for first
flap mode and 61.4% for second flap mode are found. The se-
lected average modal damping value of D=0.1% reduces the clar-
ity of the local maxima and minima compared to the eigenmode
analysis (see also paragraph “Effect of Modal Damping”). To
achieve a better understanding, the corresponding maximum blade
amplitude magnifications for EO CSM,,,, of the first torsion
modes are added in Fig. 22 for illustration.

It can be recognized that for slightly mistuned systems mode
localizations steadily increase with higher mistuning levels. In
general a local maximum of blade amplitude magnification ap-
pears at small or moderate mistuning levels. The reason for this
special behavior is the better transfer of vibration energy between
adjacent blades through the disk in case of nearly similar blade
eigenfrequencies.

If the eigenfrequencies of the blades are more differing, the
interblade energy transfer is decreasing, which is characterized by
lower amplitude magnifications whereas the mode localization is
steadily increasing.

Overall due to the lower interblade-coupling and the resulting
higher structural isolation, forced torsion modes are more sensi-
tive regarding blade mistuning than flap modes.

8.2.2 Effect of Modal Damping. During the flight cycle, the
present aerodynamic damping changes depending on the current
aeroengine operating point. This damping amount strongly affects
the forced response behavior not only of tuned blisks but also of
mistuned blisks. Figure 23 below exemplarity presents the corre-
lation between amplitude magnification and localization factor in
the case of EO depending on the modal damping value.

Contrary to the structural interblade coupling through the disk a
highly compressed fluid between the in-phase and counterphase

Caused by the airflow around the blades.

13In—phase and counter-phase-blade-vibrations of tuned and mistuned bladed disks
result in additional aerodynamic forces and aerodynamic damping due to the com-
pression of the flow between the vibrating blades.

“In case of blisks, only the material damping occurs because of the missing
blade-disk-connection.
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Fig. 23 Maximum localization factor (—) and amplitude mag-
nification (---) depending on the damping value, forced re-
sponse analysis for EO 1, Omistuning=0.68%, 1 sine-wave mistun-
ing, first torsion mode

oscillating blades extend the coupling with an aerodynamic com-
ponent as well as the total damping value. Thus both mode local-
ization and amplitude magnification decrease at higher damping
levels so high modal damping is advantageous regarding blade
mistuning effects. This means operational conditions with high
aerodynamic damping result in lower localized blade mode shapes
than conditions with low aerodynamic damping.

8.2.3  Effect of Disk Stiffness. Analogous to the previous chap-
ter, the disk stiffness will be changed again around *=50%, which
corresponds to a more stiffer or more softer design of the disk,
respectively.

For a better understanding of the disk-stiffness-variation ef-
fects, one has to be distinguished between the tuned and the mis-
tuned case.

For that purpose the blade displacement amplitudes of the tuned
blisk were computed first for EO/CSM 1, 4 and CSM,,,, depend-
ing on the disk stiffness. As exemplarity shown in Fig. 24 the
maximum blade displacements decrease with increasing disk stiff-
ness as a result of the more stiffer clamping of the blades on the
disk. Because of the lower percentage of disk on the total blisk
strain energy (see also Fig. 5) this effect is less pronounced for
high CSMs than for low CSMs. Hence, in general it is valid that
the stiffer the disk, the lower the blade displacement magnitudes
at identical excitation gets.

In contrast to this, another effect occurs in the case of mistuned
system: A softer disk section increases the interblade coupling
through the disk, which results in higher mode localization. As
presented in Fig. 25, the localization of the two flap modes
slightly increases with increasing disk stiffness. Thus a smaller
number of blades has to absorb a larger percentage of the total
excitation energy, which results in modified blade amplitude mag-
nifications (see Fig. 26). This stiffening effect is more pronounced
for the second flap modes than for the first flap modes.

As presented in the previous chapter, in case of forced torsion
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Fig. 24 Maximum axial blade amplitude depending on the disk

stiffness, first torsion mode, tuned system, D=0.1% (Q=500),
(---) EO/CSM 1, (---) EO/CSM 4, (—) EO/CSM 12 (CSM,,,,,)
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modes local maxima and minima occur depending on the disk
stiffness. It has to be mentioned that the positions of all of these
local extreme values of the localization factor are not similar to
the eigenmode analysis in all cases. Hence, high localization fac-
tors occur at ~70%, ~90%, and ~110% of original disk stiff-
ness. In contrast to this, low values of mode localization occur
below 60% and above 125% of original disk stiffness. Also at the
curve of amplitude magnification of the first torsion modes local
maxima and minima at the same disk stiffness levels occur al-
though these extreme values are more distinctive than for the lo-
calization factors.

Again both flap modes are less affected by disk stiffness varia-
tions compared to the torsion mode. The amplitude magnifications
of the first flap mode second are only slightly decreasing with
increasing disk stiffness while the amplitude magnifications of the
second flap mode are increasing with a stiffer disk.

Summarizing all of the former results regarding the three fun-
damental blade modes of the Engine 3E HPC rotor 1, one can
conclude that a more softer disk section (<60%) is advantageous
regarding mode localization as well as amplitude magnifications
compared to the original design. At this point, it has to be reiter-
ated that the disk stiffness modification is only useful inside the
bounds of all other criteria (maximum permissible blade deforma-
tion, HCF, etc.) and also a softer disk results in a slight increase in
blade displacements amplitudes of all blades (—blade tip rubbing
at outer compressor casing).
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Fig. 26 Maximum amplitude magnification depending on the
disk stiffness, mistuned system (opmistuning=0.68%), D=0.1%
(@=500), (---) first flap mode, (---) second flap mode, (—) first
torsion mode, averaged values of EO 1, EO 4, EO 12 (CSM,,,,)
excitation and three artificial sinusoidal mistuning distributions
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9 Conclusions and Summary

Due to the very low structural damping, the appearing vibration
modes of blade integrated disks (blisks) are very sensitive to in-
dividual blade mistuning. In contrast to the tuned design model
characterized by similar blade amplitudes for all blades, a more or
less local zoning of the vibration modes occurs — the so-called
mode localization. At this, it can be confirmed that many of the
fundamental aspects of this study are in agreement with earlier
work (for example, Refs. [25,30,41,42]).

Supplementing for a clear and objective comparison of various
blisk designs, blade modes and excitation parameters criteria of
evaluation (mode fill factor and localization factor) have been
introduced. A front HPC blisk rotor of the German Engine 3E
research program has been used for the comparison of the vibra-
tion behavior of different modes, damping values, and disk stift-
ness ratios.

The determined localization factors show that in general torsion
modes of mistuned blisks have a more pronounced local zoning of
vibration modes than flap modes. These higher sensitivity, regard-
ing blade mistuning, results from a stronger structural isolation of
the adjacent individual blades due to their lower interblade cou-
pling, which can be characterized using, for example, the percent-
age of blades on the total blisk strain energy.

The same effect is valid for noncyclic-symmetric blade modes
that arose from tuned cyclic symmetry modes caused by blade
mistuning. Modes with lower numbers of (warped) nodal diameter
lines are less sensitive regarding mistuning than blade modes that
arise from tuned modes with larger numbers of nodal diameter
lines. Again the different interblade coupling between these blade
modes is the cause of this effect.

In case of the two investigated fundamental flap modes blisks
with stiffer hub sections result in higher mode localization than
blisks with a softer disk design compared to the initial disk design.
In contrast, additional local maxima and minima occur in the case
of the torsion modes. Generally a decline in mode localization can
be observed if disk stiffness is decreased due to design modifica-
tions. Depending on the blisk geometry, a slight increase in all
absolute blade displacement amplitudes occurs caused by the
softer fixation of the blades on the disk.

In general high amplitude magnifications of forced vibrations
appear at moderate mistuning levels for slightly damped systems,
whereas the localization of blade modes steadily increases with
higher blade mistuning.

An understanding of these correlations is a step toward im-
provement of future blisk design (sensitivity to mode localization,
design and/or modification of hub section, e.g., bladed integrated
ring (bling)), the reduction of mistuning caused effects for future
aeroengines and the improvement of strain gauge instrumentation
of mistuned bladed integrated disks (see also Refs. [43] for further
information).
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Nomenclature
CSM,.x = highest cyclic symmetry mode

D = dimensionless damping value

DFT = coefficient of Fourier transformation

DFT = mean value of all Fourier coefficients
E = Young’s modulus (N/mm?)
f = frequency (Hz)
fn = eigenfrequency of blade n (Hz)
f = mean value of all blade eigenfrequencies (Hz)
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component of displacement vector, blade num-
ber resp.
= number of blades of a blisk
= quality factor, Q=1/2D
strain gauge
= time (s)
= displacement vector
= maximum blade displacement/root mean square
= sum of all DFT coefficients/max. DFT
coefficient
¢ocsm = blade phase angle (rad)
w = eigenfrequency, w=27f
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Time-Accurate Predictions for a
Fully Cooled High-Pressure
Turbine Stage—Part I:
Comparison of Predictions With
Data

The aerodynamics of a fully cooled axial single stage high-pressure turbine operating at
design corrected conditions of corrected speed, flow function, and stage pressure ratio
has been investigated. This paper focuses on flow field predictions obtained from the
viewpoint of a turbine designer using the computational fluid dynamics (CFD) codes
Numeca’s FINE/TURBO and the code TURBO. The predictions were all performed with only
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The Ohio State University knowledge of the stage operating conditions, but without knowledge of the surface pres-
Enarson Hall sure measurements. Predictions were obtained with and without distributed cooling flow
154 W 12th Avenue simulation. The FINE/TURBO model was run in 3-D viscous steady and time-accurate

modes; the TURBO model was used to provide only 3-D viscous time-accurate results.
Both FINE/TURBO and TURBO utilized phase-lagged boundary conditions to simplify the
time-accurate model and to significantly reduce the computing time and resources. The
time-accurate surface pressure loadings and steady state predictions are compared to
measurements for the blade, vane, and shroud as time-averaged, time series, and power
spectrum data. The measurements were obtained using The Ohio State University Gas
Turbine Laboratory Turbine Test Facility. The time-average and steady comparisons of
measurements and predictions are presented for 50% span on the vane and blade. Com-
parisons are also presented for several locations along the blade to illustrate local
differences in the CFD behavior. The comparisons for the shroud are made across the
blade passage at axial blade chord locations corresponding to the pressure transducer
locations. The power spectrum decompositions of individual transducers (based on the
fast Fourier transform (FFT)) are also included to lend insight into the unsteady nature
of the flow. The comparisons show that both computational tools are capable of providing
reasonable aerodynamic predictions for the vane, blade, and stationary shroud. The CFD
model predictions show the encouraging trend of improved matching to the experimental
data with increasing model fidelity from mass averaged to distributed cooling flow inclu-
sion and as the codes change from steady to time-accurate modes.
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Nomenclature and Definitions

Wetted distance location. Location along the airfoil contour (x)
normalized by the total distance along each surface (S). Measured
from —-100% to 100% with O a